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Plastic ﬂow localisation and ductile failure during tensile testing of friction stir welded aluminium spec-
imens are investigated with a speciﬁc focus on modelling the local, ﬁnite strain, hardening response. In
the experimental part, friction stir welds in a 6005A-T6 aluminium alloy were prepared and analysed
using digital image correlation (DIC) during tensile testing as well as scanning electron microscopy
(SEM) on polished samples and on fracture surfaces. The locations of the various regions of the weld were
determined based on hardness measurements, while the ﬂow behaviour of these zones was extracted
from micro-tensile specimens cut parallel to the welding direction. The measured material properties
and weld topology were introduced into a 3D ﬁnite element model, fully coupled with the damage model.
A Voce law hardening model involving a constant stage IV is used within an enhanced Gurson type micro-
mechanical damage model, accounting for void nucleation, growth and coalescence, as well as void shape
evolution. The stage IV hardening, observed in Simar et al. (2010), was found to increase the stiffness dur-
ing plastic ﬂow localisation as well as to postpone the onset of fracture as determined by the void coa-
lescence criterion. Furthermore, the presence of a second population of voids was concluded to
strongly affect the fracture strain of the high strength regions of the welds. This modelling effort links
the microstructure and process parameters to macroscopic parameters relevant to the optimisation of
the welds.
 2010 Published by Elsevier Ltd.1. Introduction
The strength, ductility and fracture toughness of welded joints
strongly depends on the post-welding material properties in the
weld region, thus on the complex heterogeneous microstructure
of the joint. Compared to conventional fusion welding techniques,
the friction stir welding (FSW) method, developed at The Welding
Institute in 1991 (TWI, Cambridge, United Kingdom), Thomas et al.
(1991), shows remarkable potential for joining aluminium alloys.
The FSW technique is based on a spinning tool, consisting of a
pin and a shoulder, which are plunged into the material until the
shoulder is pressed into contact with the metal sheets. Friction
heating between the tool and the sheets softens the material,
which allows extensive stirring in the weld nugget. This heating–
softening mechanism is self-stabilising, which ultimately makes
the FSW technique a solid-state process.
Due to the intense stirring and non-isothermal treatment of the
material during welding, different evolutions of the microstructureElsevier Ltd.
chanical Engineering, Solid
800 Kgs. Lyngby, Denmark.and of the subsequent material properties are observed across the
weldline (Mishra and Ma, 2005; Nandan et al., 2008; Threadgrill
et al., 2009). A FS-weld is typically divided into four regions: (1)
the unaffected base material (BM), (2) the heat affected zone
(HAZ), (3) the thermo-mechanically affected zone (TMAZ) exposed
to high temperature with large heating and cooling rates as well as
mechanical deformation and (4) the nugget (NG) in the stir zone
where recrystallisation takes place.
A wide range of experimental and numerical investigations of
the FS-welding technique can be found in the literature. The mate-
rial ﬂow around the tool and temperature history inside the work-
piece (Ying et al., 1999; Schmidt and Hattel, 2005; Schmidt et al.,
2006; Heurtier et al., 2006; Simar et al., 2006b; Nandan et al.,
2008), as well as the evolution of the microstructure and mechan-
ical properties during the welding process (Myhr and Grong, 2000;
Sato et al., 2001; Shercliff et al., 2005; Kamp et al., 2006; Simar
et al., 2007b; Gallais et al., 2008), have been studied intensively.
The interaction between the microstructure evolution, the local
material properties and the post-welding stress–strain conditions
largely affect the overall response of a FS-welded joint. However,
a limited number of numerical studies on the weld strength and
the plastic ﬂow localisation during ductile failure in FS-welds have
been presented in the literature (Lockwood et al., 2002; Lockwood
Fig. 1. Deﬁnition of the strain hardening parameters h0;b0; hIVð Þ of the Voce law
involving both stage III and stage IV as well as a smooth transition region, based on
a hardening rate versus ﬂow stress (minus initial yield stress) plot.
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sen, 2008a; Nielsen and Tvergaard, 2009; Borino et al., 2009). Si-
mar et al. (2007b) presented a sequential model for predicting
the local strain hardening in FS-welded 6005A-T6 aluminium,
using a Voce type hardening law. This study was then followed
up in Gallais et al. (2007), where the fracture strain of various
FS-welds were predicted using a decoupled modelling approach.
Nielsen (2008a) presented a parametric study on the effect of the
local material properties in the weld region, and this study was ex-
tended in Nielsen and Tvergaard (2009) to study the effect of a
shear-modiﬁed Gurson type model (Nahshon and Hutchinson,
2008). Borino et al. (2009) predicted failure of FS-welded speci-
mens using a cohesive interface modelling approach producing
good agreement with experimental results. Recently, Chung et al.
(2010) and Kim et al. (2010) used a modiﬁed Chaboche type com-
bined isotropic–kinematic hardening law to model tensile and
Baushinger tests as well as study the formability of friction stir
welds. Studies have also been dedicated to model large strain local-
isation and damage development during overload conditions (Niel-
sen, 2008a; Nielsen and Tvergaard, 2009). Other important studies
focus on modelling the residual stresses, developed during weld-
ing, and their inﬂuence during in-service loading (Chao and Qi,
1998; Shi et al., 2003; Chen and Kovacevic, 2003), as well as on fa-
tigue crack growth in FS-welded joints (see Pouget and Reynolds,
2008, and references cited therein).
The present work combines an experimental investigation and
numerical simulations based on an advanced constitutive damage
model to study the tensile response, plastic ﬂow localisation and
failure of friction stir welded Al6005-T6 aluminium joints. The
material parameters at different locations across the weldline are
determined by micro-tensile testing of specimens extracted from
the various regions of the weld. A 3D ﬁnite element (FE) analysis
of the localisation and failure mode during overload conditions of
the welded joint is then carried out by mapping the material prop-
erties andweld topology onto a FEmesh. The numerical simulations
are performedwith the FE code developed in Nielsen (2009) and Si-
mar et al. (2010). The mechanisms governing damage development
and eventual failure depend signiﬁcantly on thematerial properties
at large plastic strains. Hence, the present work accounts for the ef-
fect of the late stage IV strain hardening mechanism on fracture of
the FSW joints. Based on the study in Simar et al. (2010) for isother-
mally heat treated homogeneous tensile specimens of the 6005A
aluminium alloy, the hardening is chosen to be ﬁtted by a Voce type
law, including a constant stage IV. A simple empiricalmodel for esti-
mating the level of stage IV hardening is proposed.2. Constitutive model
The ﬁnite element code is based on the work presented in Niel-
sen (2009) and Simar et al. (2010). The model is formulated using a
total Lagrangian description of the ﬁeld equations and imple-
mented in a 3D dynamic framework. Damage is considered to re-
sult from the nucleation, growth and coalescence of primary
spheroidal voids. The growth and shape evolution of primary voids
is governed by the Gologanu–Leblond–Devaux model (Gologanu
et al., 1997; Pardoen and Hutchinson, 2000; Pardoen, 2006), with
f being the void volume fraction and W ¼ exp Sð Þ the aspect ratio
of the principal void axes. As an approximation, the main cavity
axis is assumed to follow the rotation and deformation of the
material (see Nielsen (2009) for more details).1 In this study, the Considère strain, eu , of the Voce law is used as a substitute for a
mean strain hardening exponent entering the correction factor q.2.1. Damage model
The potential surface for the viscoplastic formulation of the
model is given by Eq. (1), where rM is the microscopic effectivestress in the matrix material surrounding the voids. The acceler-
ated void growth as void coalescence occurs ðf P fcÞ is accounted
for by the effective porosity f ðf Þ in Eq. (2) (Tvergaard et al., 1984).
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is the Mises norm of the corrected stress devia-
tor, s^ij ¼ sij þ grhXij, with sij being the deviatoric part of the Cauchy
stress tensor, rij, referring to the convected base vectors and
rh ¼ rijJij being the generalized hydrostatic stress. The second order
direction tensors Jij; Xij and P
ij in Eq. (3) can be found in Nielsen
(2009). The rateof the void shape factor, _S, and the void volumegrowth
rate, _f , for the Gologanu–Leblond–Devaux model can be written as
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where _gpij are the components of the macroscopic plastic strain rate
and Gij are the contravariant components of the metric tensor for
the convected coordinate system. The applied nucleation law for B
(in Eq. (4)) will be described in Section 2.2. Further details on the
parameters ðC; g;j;g;a2; h1;h2Þ can be found in Gologanu et al.
(1997) and Pardoen and Hutchinson (2000), while the most accu-
rate expression for q is given in Lassance et al. (2007) for power
law hardening material.1
The material is represented as elastic–viscoplastic, but using a
small strain rate hardening exponent (m = 0.002) to limit the vis-
cous effect. The effective plastic strain rate is given by Eq. (5a),
while the 6005A aluminium alloy is taken to follow the Voce hard-
ening law in Eq. (5b), including stage IV hardening, hIV (see Fig. 1
and Simar et al., 2010),
_epM ¼ _e0
rM
g epM
 
" #1=m
; g epM
  ¼ h
b
1 exp bepM
  þ ry þ hIVepM
ð5a;bÞ
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 		
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ch the
corresponding microscopic plastic strain, while the saturation stress
for the simpler stage III Voce equation ðhIV ¼ 0Þ is g epM
 		
sat ¼
h0=b0 þ ry, with ry the initial yield stress, h0 the dislocation storage
rate, and b0 the dynamic recovery rate.
2.2. Void nucleation
A stress controlled nucleation law is applied, since SEM obser-
vation revealed void nucleation in 6005A is governed by fracture
of iron-rich particles, see Simar et al. (2010). The nucleation law
by Chu and Needleman (1980) (see Eq. (4)) is modiﬁed to account
for the evolving void shape, as (Lassance et al., 2006)
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for rM þ rkk=3
 jmax and _rM þ _rkk=3  > 0. Hence, for a constant void
aspect ratio, this void nucleation law follows a normal distribution,
where rN is the mean stress and sN is the standard deviation. Com-
pared to the original void nucleation law, a dependency is introduced
in Eq. (7) on the already evolving void shape, W, as well as on the
particle shape, Wp, and on the volume fraction, fp (Simar et al.,
2010). The initial void shape is taken to beW01 ¼ 0:01 in order tomi-
mic the fracture of particles in their equatorial planes, giving rise to
very oblate (i.e. ﬂat) voids (see Huber et al., 2005; Lassance et al.,
2006). The nucleation is initiated when the stress, rM þ rkk=3,
exceeds a critical nucleation stress rc1 ¼ rN  3sN (see Table 1).
2.3. Void coalescence
The critical void volume fraction fc, in Eq. (2), corresponding to
the onset of void coalescence is determined by the heuristically
modiﬁed Thomason criterion (Thomason, 1990; Pardoen and
Hutchinson, 2000),
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aðeuÞ ¼ 0:1þ 0:217eu þ 4:8e2u ð8ÞTable 1
Material properties and damage parameters for the base material (A6005-T6).
Parameters Notation
Young’s modulus E
Poisson ratio m
Mass density q
Initial yield stress ry
Dislocation storage rate h0
Dynamic recovery rate b0
Stage IV hardening hIV
Strain rate hardening exponent m
Reference strain rate _e0
Initial void volume fraction f0
Volume fraction of particles fp1
Volume fraction of dispersoïds fp2
Particle aspect ratio 1=Wp1
Initial void aspect ratio W01
Critical nucleation stress for primary voids rc1
Interval for nucleation of primary voids Drnucl1
Critical nucleation stress for secondary voids rc2
a See Simar et al. (2010).where rn ¼ rijPij is the stress component along the main cavity axis
of the void, eu is the Considère strain used as a mean value of the
strain hardening exponent, and v is the relative void spacing based
here on an initial 3D cubic array of particles from which primary
voids nucleate, see Simar et al. (2010) for more details. Hence, fc
is extracted when the Thomason criterion is fulﬁlled.3. Material and experimental procedures
3.1. Material
The composition of the 6005A aluminium alloy is 0.81Si,
0.48Mg, 0.24Fe, 0.11Mn and 0.09Cu (wt.%). This alloy is age harde-
nable with the following precipitation sequence: supersaturated
solid solution? Guinier Preston (GP) zones? b00 ? b00(+B0)?
b(Mg2Si) (Edwards et al., 1998). GP zones are formed during low
temperature aging and evolve into fully coherent needle-shaped
b00 precipitates during heat treatment, with a peak hardness at-
tained for an optimum size of precipitates corresponding to the
T6 state. Upon further heat treatment, the b00 precipitates grow
and eventually transform into larger semi-coherent b0 precipitates
and the stable incoherent Mg2Si phase, leading to lower hardness
(Edwards et al., 1998; Gupta et al., 2001). The material properties
for the base material in the T6 state are shown in Table 1.3.2. Friction stir welds
Plates made of 6 mm thick 6005A alloy are welded parallel to
the extrusion direction in the as-received T6 tempering state.
Keeping the rotational speed of the weld tool constant
ðr ¼ 1000 rpmÞ, two different welding conditions denoted as ‘hot’
or ‘cold’ are studied by letting the advancing tool speed be equal
to 200 or 1000 mm/min, respectively. The mechanical properties
of a friction stir weld are strongly dependent on the welding
parameters. The latter are thus carefully chosen based on previous
studies by Simar et al. (2006a, 2007a) in order to encompass two
extreme post-welding material conditions covering the two ex-
tremes within the parameter window still providing welds without
defects, for the machine and tools available. As discussed in Simar
et al. (2006a), the rotational speed only slightly affects the hard-
ness variation transverse to the weld and was thus kept constant
in this study. The main difference between the two welds lies in
the extent of the heat affected zones (HAZ1, HAZ2), as indicated
in Fig. 2.Value Origin
72,000 MPa Value for Al
0.32 Value for Al
2700 kg/m3 Value for Al
236.73 MPa Tensile testing (transverse to extrusion direction)
713 MPa Tensile testing
8.21 Tensile testing
40 MPa Estimateda
0.002 Imposed
0.005 Imposed
0 Imposed
1.2 ± 0.44% SEM characterization
0.7% FEG-SEM characterization
1.7 ± 0.14 SEM characterizationa
0.01 Imposed
400 MPa Fitted on isothermal heat treatmentsa
200 MPa Fitted on isothermal heat treatmentsa
700 MPa Estimated in Section 6.2
Fig. 2. Estimated material properties based on the micro-specimens showing the initial yield stress, ry; dislocation storage rate, h0; dynamic recovery rate, b0, and stage IV
hardening, hIV transverse to (a) the cold weld ðr ¼ 1000 rpm; v ¼ 1000 mm=minÞ and (b) the hot weld ðr ¼ 1000 rpm; v ¼ 200 mm=minÞ. The advancing side of the welds is
located on the left-hand side of the ﬁgures.
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Macro-tensile tests are performed transverse to the weldline on
dog-bone specimens with rectangular cross-sections. The speci-
mens are 6 mm thick, 12.5 mm wide and 140 mm long (see
Fig. 4). The initial gauge length is equal to 45 mm, covering the en-
tire weld region. All tensile tests are carried out using a universal
Zwick 50 kN testing machine, under displacement controlled load-
ing at a constant displacement rate of 1 mm/min. During testing,
digital image correlation (DIC) analysis is performed on the trans-
verse section of the welds in order to characterize the non-homo-
geneous deformation in the weld region. Hence, the local straining
along the tensile direction is identiﬁed for comparison with the
numerical predictions. The elongation strain, e11, extracted from
the numerical simulations to be compared with the DIC measure-
ments is deﬁned as e11 ¼ ln 1þ u1;1ð Þ, where u1;1 is the displace-
ment gradient in the tensile direction. The average fracture strain
is deﬁned as
ef ¼ ln A0Af
 
ð9Þ
with A0 and Af the initial and ﬁnal cross-sectional areas of the spec-
imen, respectively. Here, Af is measured experimentally by plane
projection of the fracture surface of the broken sample, while the
corresponding area in the numerical model is taken to be the pro-
jected smallest area in the region of localisation when the rapid
drop in the tensile curve occurs.
3.4. Hardness measurements and micro-tensile testing
Vickers hardness indentation measurements are performed on
the cross-sectional surface of the welded joints using 1 kg loading
in order to identify the location of the various regions of the weld.
Based on these hardness measurements and on macrographic
observations of the welds (Simar et al., 2008), the weld was dividedinto ﬁve zones of similar hardness on both the advancing and
retreating side. These zones are: the base material (BM), two heat
affected zones close to the base material (HAZ1) from which the
samples are extracted where the hardness is equal to 80 HV1,
two heat affected zones closer to the weldline with minimum
hardness (HAZ2), two thermo-mechanically affected zones
(TMAZ), and the weld nugget (NG) (see Fig. 2). This approach is a
simpliﬁcation, since the hardness varies moderately in the various
zones (Simar et al., 2008). Micro-specimens with rectangular cross-
section are extracted from the various regions. To ensure that the
micro-tensile specimens are as homogeneous as possible, the
thickness is chosen equal to 0.8 mm. When needed, the samples
are machined at speciﬁc angles with respect to the plate normal,
to account for the inclination of the zones. The inclination is based
on a series of hardness measurements carried out at various thick-
nesses throughout the welded plate (see, e.g. Gallais et al. (2007) or
Simar et al. (2006a, 2008) for further details). The extracted micro-
specimens are 4 mm wide and 60 mm long (along the weldline),
with an initial gauge length of 30 mm. Due to the rather large as-
pect ratio of the micro-tensile specimens, failure is observed to oc-
cur in a shear-band developing inside a diffuse necking region.
However, due to the small specimen size and machining imperfec-
tions, a number of specimens broke outside the gauge section. As
for the macro-specimens, the fracture strain is deﬁned using Eq.
(9), with the small cross-sectional area of the broken specimen
measured experimentally by SEM observations and subsequent
image analysis of the fracture surface.3.5. Scanning electron microscopy (SEM) analysis
Metallographically prepared samples extracted from the
welded macro-specimens and local micro-specimens are charac-
terized by SEM in order to determine the phases responsible for
nucleation and growth of damage. The shape and volume fraction
of iron-rich particles from which primary voids nucleate are quan-
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electron microscopy (FEG-SEM) provided higher spatial resolution
to characterize the dispersoïds in the base material. The fracture
surface of both types of specimens is furthermore studied by
SEM observation to determine the sequence of micromechanisms
by which failure occurred.4. Experimental data and parameter identiﬁcation
4.1. Local ﬂow properties in the weld regions
The Voce hardening parameters ðh0; b0Þ specifying the stage III
of the plastic slope, linear in g epM
  ry , are extracted by ﬁtting
the experimental load–displacement curve up to necking for all
the micro-specimens, see Fig. 1. The variation of the material prop-
erties for the two welding conditions is shown in Fig. 2. All material
properties are assumed constant in each of the different zones thus
producing piecewise constant functions.
The 6005A aluminium alloy experiences a signiﬁcant drop of
the yield stress when exposed to FS-welding conditions. Hence,
the yield stress proﬁle has a U-shape, with almost identical yield
stress in the HAZ2, TMAZ and weld nugget on both the advancing
and retreating side for the cold weld. A slightly higher yield
strength is found in the nugget compared to the HAZ2 for the
hot weld (see Fig. 2). Conversely, the dislocation storage h0 has
an inverse U-shape and increases from a relatively low level in
the base material to a much higher level in the HAZ2 and TMAZ.
Only a slightly lower level of h0 is found in the nugget for both
welds. A more pronounced drop in the nugget and the TMAZ is ob-
served for the dynamic recovery rate b0, whereas a low level of b0 is
found in the base material. The high value of b0 in the HAZ1 and
HAZ2 indicates a rapid change in the hardening rate as the stress
level increases, i.e. these zones have a low strain hardening capac-
ity. Furthermore, Fig. 2 shows only a limited asymmetry across the
weldline for the material properties.
4.2. Estimating stage IV, hIV
The determination of the stage IV hardening parameter hIV for
the various weld regions is based here on the study presented in
Simar et al. (2010), where it was identiﬁed by comparing the mea-
sured and the predicted post-localisation tensile response of a
wide range of isothermally heat treated samples, that resembles
the material in the HAZ of a FS-weld. This procedure is, however,
not applicable to the micro-tensile specimens considered in this
study, since a number of micro-specimens broke outside the gauge
length. Thus, in this study, hIV is based on an empirical correlation
between the Considère strain, eu, and the stage IV hardening, hIV,
shown in Simar et al. (2010): the ratio K IV ¼ hIV=eu was found to
be in the interval 650 200 MPa for a majority of isothermally
heat treated specimens. By applying this correlation together with
the Considère condition og epM
 
oepM ¼ g epM
  
to the Voce harden-
ing law (Eq. (5b)), the stage IV hardening is approximated here by
solving the following equation:
1 1
b
þ exp b hIV
K IV
 
1þ 1
b
 
 ry
h
þ hIV
K IV
1 hIV
K IV
 
¼ 0 ð10Þ
with hðhIVÞ and bðhIVÞ given by Eq. (6). The variation of hIV trans-
verse to the weldline is shown in Fig. 2. A rather low level of stage
IV hardening is found in the heat affected zones for both welds,
whereas higher levels are observed in the TMAZ and especially in
the weld nugget. Hence, the weld nugget involves a high strain
hardening capacity at large plastic strains, while the HAZ appears
softer as the plastic straining enters stage IV. Now, the estimated
stage IV hardening for the base material obtained usingK IV ¼ 650 MPa is unrealistically high. Hence, the value
hIV ¼ 40 MPa, as identiﬁed in Simar et al. (2010), will be used for
the base material. Note that the exact level of stage IV for the base
material is of minor importance for the numerical analysis of the
welded joints, since the deformation rapidly localises in the HAZ,
whereas the base material and nugget zone never attain large plas-
tic strains.
In order to conﬁrm the estimated level of stage IV, tensile test-
ing of cylindrical samples, machined from the weld nugget, were
also carried out and compared with the predicted tensile curves.
The high level of hIV in the weld nugget was conﬁrmed and the best
ﬁt to the tensile curve of these cylindrical samples was obtained for
hIV ¼ 120 MPa. This study is only possible for the weld nugget,
since the size of the other weld zones does not allow to extract rea-
sonably sized cylindrical specimens made of homogeneous micro-
structure. Nevertheless, isothermal heat treatments performed in
Simar et al. (2010), with material properties similar to the HAZ1
and HAZ2 regions of the welds, showed levels of stage IV hardening
of about 70 MPa similar to the one estimated by Eq. (10) with
K IV ¼ 650 MPa.
4.3. Damage parameters
4.3.1. Primary voids
As discussed in Simar et al. (2010), the nucleation of primary
voids in 6005A aluminium alloys is governed by fracture of iron-
rich particles. Hence, the stress controlled nucleation law pre-
sented in Section 2.2 is applied, with the nucleation parameters
speciﬁed in Table 1. The nucleation parameters ðrc1;Drnucl1Þ were
estimated in Simar et al. (2010) based on tensile tests of isother-
mally heat treated samples, while the particle volume fraction, fp,
and aspect ratio, Wp, were based on SEM observations (see
Section 3.5).
4.3.2. Secondary voids
Fig. 3a presents a transmission electron microscopy (TEM)
micrograph of the base material showing the large iron-rich parti-
cles surrounded by dispersoïds. These particles are typically
100 nm in size, with a volume fraction equal to 0.7% (estimated
by FEG-SEM). If secondary voids nucleate on dispersoïds, and grow
in the ligament between the primary voids (Asserin-Lebert et al.,
2005; Liu et al., 2007; Gallais et al., 2007), a signiﬁcant effect on
the onset of void coalescence can occur and reduce the fracture
strain (Faleskog and Shih, 1997; Fabrègue and Pardoen, 2008,
2009; Gallais et al., 2007). This effect is not accounted for in the
model developed in the core part of this paper but will be dis-
cussed in Appendix A.
Fig. 3b and c presents fractographies corresponding to the heat
affected zone and to the nugget, respectively, for the cold weld.
Two populations of cavities with different sizes are found on the
fracture surfaces of the nugget, whereas the HAZ exhibits only
one population of cavities. Similar observations were made in Si-
mar et al. (2010), where fractographies indicated the presence of
a second population of smaller voids for high strength heat treated
samples, including the T6 state base material.5. Numerical analysis
5.1. Modelling approach
The numerical studies presented in this work are full 3D, using a
dynamic ﬁnite element implementation of the damage model de-
scribed in Section 2. The spatial discretisation consists of 20 node
isoparametric elements evaluated by reduced Gaussian quadra-
ture, while the time integration is performed by a standard explicit
Fig. 3. (a) Iron-rich phases and dispersoïds in the base material (TEM image). Fractography of the micro-tensile specimen of (b) the low strength HAZ and (c) the weld nugget
of the cold weld (SEM image). The fractography of the weld nugget shows evidences of a secondary voids that have presumably nucleated on the dispersoïds.
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used, due to the constraint from the Courant condition ðDtcÞ or
the strong non-linearity in Eq. (5a). However, the critical time
increment is increased using the forward gradient method sug-
gested by Peirce et al. (1984) (typically Dt ¼ 0:1Dtc), while a
lumped mass matrix ensures low calculation times at each incre-
ment. Furthermore, as the potential surface shrinks due to the evo-
lution of damage, the element vanishing technique by Tvergaard
and Needleman (2004) is applied to limit numerical difﬁculties,
see also Nielsen (2009).
5.2. Macro-tensile testing simulations
The macro-tensile specimens involving a transverse weld are
modelled as shown in Fig. 4. The discretization is reﬁned in the re-
gions undergoing severe deformation during the localisation of
plastic ﬂow. As indicated in Fig. 4, the mesh has been divided into
the different regions as characterized in the respective welds and
in which the material properties are kept constant (see Fig. 2).
To reduce computation time, symmetry conditions are applied
at x3 ¼ 0, while the specimens are loaded by a prescribed displace-
ment at one end surface ðx1 ¼ L=2Þ. Hence, the boundary condi-
tions take the form
u3 ¼ 0; T1 ¼ 0; T2 ¼ 0 at x3 ¼ 0
u1 ¼ 0; T2 ¼ 0; T3 ¼ 0 at x1 ¼ L=2
_u1 ¼ _UDt; T2 ¼ 0; T3 ¼ 0 at x1 ¼ L=2
Ti ¼ 0; i ¼ 1;2;3 on remaining surfaces
For the study in Section 6.2, presenting the tests on the welds, two
different settings for the stage IV hardening are considered, which
are (i) a reference setting omitting stage IV ðhIV ¼ 0Þ and (ii) a stage
IV hardening determined by Eq. (9), as shown in Fig. 2.
5.3. Micro-tensile testing simulations
Accounting for stage IV hardening was shown in Simar et al.
(2010) to have a rather large effect on the fracture strain predicted
when using the Thomason criterion for void coalescence, Eq. (8).Fig. 4. Typical mesh used for the 3D analysis of a macro-specimen containing the wHence, in order to conﬁrm the validity of the level of stage IV hard-
ening based on Eq. (9), a numerical study of the fracture strain of
the micro-specimens is carried out and compared with experimen-
tal observations (see Table 2).
As described in Section 3.4, the micro-specimens experimen-
tally fail through a single shear-band. Hence, this localisation in a
single band, inclined to the tensile direction, is a key feature of
the post-localisation behaviour of the tensile curve as well as in
controlling damage development. To model the asymmetric local-
isation of plastic ﬂow, one quarter of the micro-specimen is mod-
elled by applying symmetric condition in the mid-thickness
direction and anti-symmetric conditions at the mid-length (load-
ing direction). The anti-symmetry conditions are introduced fol-
lowing the dynamic approach described in Nielsen (2008b).6. Results and discussion
6.1. Micro-specimens
6.1.1. Predicted tensile test responses
Fig. 5 provides an example of the predicted tensile curves for the
micro-specimens extracted from the base material (BM), the heat
affected zone (HAZ2) closest to the weldline and the nugget (NG).
Tensile curves are given for simulations accounting or not for stage
IV hardening. The results are shown only for the advancing side of
the cold weld, while similar material behaviours were found for
the respective weld regions on the retreating side of the cold weld
and for the hot weld (see Fig. 2). A signiﬁcant effect of the welding
process is observed for the various regions. The heating of the T6
material causes the growth or dissolution of the smaller b00
strengthening precipitates, which will eventually form larger
semi-coherent b0ðþB0Þ precipitates and the stable bðMg2SiÞ phase,
with a loss in strength (Sato et al., 1999; Von Strombeck et al.,
1999; Simar et al., 2008). The BM is unaffected by the welding
treatment whereas the HAZ and the NG experience signiﬁcant
heating during the welding process. This is clearly observed in
Fig. 5, where the BM shows high strength/low ductility, while both
the HAZ and the NG show a signiﬁcant loss in strength. The loss in
strength is associated with a more ductile behaviour in the NG,elded joints; here shown for the cold weld ðr ¼ 1000 rpm; v ¼ 1000 mm=minÞ.
Table 2
Experimentally measured and predicted fracture strain of the micro-specimens
extracted from the cold weld.
Base
material (BM)
Heat affected
zone (HAZ2)
Weld
nugget (NG)
Measured ef 0:94 0:14 1:39 0:12 0:87 0:02
Predicted ef for hIV ¼ 0 0.98 0.81 1.04
Predicted ef for hIV ¼ K IVeu 1.38 1.52 1.91
Fig. 5. Simulated engineering stress vs strain response of the micro-specimens of
the cold weld ðr ¼ 1000 rpm; v ¼ 1000 mm=minÞ exhibiting the effect of taking a
stage IV hardening into account. Only the tensile curves for the advancing side are
shown, while similar results were found for the retreating side.
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the composition of hardening precipitates in the various zones.
Simar et al. (2008) have shown that the HAZ is composed of large
b0 precipitates which lower the strain hardening capacity (high b0,
see Fig. 2). The nugget undergoes higher temperatures which cause
the full dissolution of the b00 precipitates, providing a good strain
hardening ability (low b0, see Fig. 2) compared to the HAZ (see
Simar et al., 2007b).Fig. 6. Predicted and measured engineering stress vs strain response of macro-
specimens containing (a) the cold weld ðr ¼ 1000 rpm; v ¼ 1000 mm=minÞ and (b)
the hot weld ðr ¼ 1000 rpm; v ¼ 200 mm=minÞ; here, shown with ðhVI ¼ K IVeuÞ and
without ðhIV ¼ 0Þ accounting for a stage IV hardening.6.1.2. Measured and predicted fracture strain
The measured and predicted fracture strains of the micro-spec-
imens for the BM, HAZ, and the NG, respectively, are presented in
Table 2. Experimentally, the HAZ has the largest fracture strain,
while fracture occurs much earlier for the BM and the NG.
When omitting the stage IV hardening ðhIV ¼ 0Þ, the model
underestimates the fracture strain for the HAZ specimen, but over-
estimates the ductility in the BM and NG (see Table 2). When
including stage IV hardening, the fracture strain predicted for the
HAZ micro-specimens is in reasonable agreement with the exper-
imental values, but the fracture strain of both BM and NG are lar-
gely overestimated. This overestimation for the BM and NG is
related to the presence of secondary voids, as discussed in more
detail in Appendix A. Nevertheless, the overestimation of the frac-
ture strain for the BM and the NG is of minor importance for the
failure prediction of the welded macro-specimens, since plastic
localisation occurs in the HAZ of the weld. In other words, the
material should be represented accurately in all zones in order to
properly predict the pre-localisation behaviour of the weld since
the overall deformation of the weld aggregates the deformation
of all the individual zones. The plastic ﬂow behaviour of each zone
is captured reasonably well by the model. But, once localisation ofplastic ﬂow occurs, the surrounding material does not deform any-
more and there is therefore no need to represent the large strain
ﬂow properties so accurately in these regions. In this study, the
post-localisation behaviour (and fracture strain) of the weld is
mainly governed by the material behaviour in the soft heat af-
fected zone for which an accurate representation of the material
behaviour is therefore essential.
6.2. Macro-specimens
6.2.1. Measured and predicted tensile response
The tensile response of the macro-specimens extracted from the
cold and hot welds is provided in Fig. 6. The experimental curves
are compared with the numerical predictions with and without a
stage IV hardening. As for the tensile response of the micro-speci-
mens in Fig. 5, introducing the stage IV decreases the unloading
rate during post-localisation, stabilizing the localisation process
as a result of higher strain hardening capacity.
The predicted tensile response for the cold weld in Fig. 6 closely
matches the experimental curve up to the maximum load, whereas
the post-localisation elongation is overestimated both with and
without a stage IV hardening. This relatively poor agreement is
probably related to additional geometrical or material imperfec-
tions present in the welded joint as well as due to deviations in
the estimated topology of the various weld regions, which are
not accounted for in the model. Studies have shown that underes-
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post-localisation elongation of the weld, while imperfections in
the experimentally tested macro-specimens will lead to earlier
localisation (Hutchinson and Neale, 1977; Simar, 2006c). Note also
that the deformation of a cylindrical macro-specimen of the cold
weld was simulated following the same methodology as for the
rectangular section specimens, with much better agreement with
the experimental responses.
Fig. 6b shows for the hot weld, some discrepancy between the
experimental and predicted pre-localisation tensile curve. The er-
ror is reasonable considering that the model is solely based on
physical parameters and that no curve ﬁtting is conducted for
the global response of the weld. A slightly better agreement be-
tween the measured and predicted post-localisation macroscopicFig. 7. (a) Deformed macro-specimen at e=eu ¼ 1:7 indicating the surface on which digita
longitudinal strain e11 on the same surface, both for the cold weld (using stage IV harde
have been extracted. DIC measurements and predicted local strain, showing the effect of
(e and f) at e=eu ¼ 1:3, for both the cold and hot weld. Here, eu is the Considère strain an
been inverted for the hot weld. To easily identify the local strain in the different weld ztensile curve is found for the hot weld in Fig. 6b compared to the
cold weld in Fig. 6a, which is partly due to an underestimation of
the elongation at maximum load. For both welding conditions,
Fig. 6a and b, the ultimate tensile strength is well predicted. The
predicted joint efﬁciency, deﬁned as the ratio of the ultimate ten-
sile strength of a weld to the ultimate tensile strength of the base
material, is thus in good agreement with the experimental
measurements.
6.2.2. Local strains and DIC comparison
In order to better understand the failure mechanisms in the
welded joints during tensile testing, a heavily deformed specimen
geometry is shown in Fig. 7a, corresponding to the cold weld.
Fig. 7b shows the outer surface of the specimen corresponding tol image correlation has been performed and (b) corresponding simulated map of the
ning). The dashed horizontal line in (b) indicates the position at which curves (c–f)
stage IV hardening for two stages of deformation, (c and d) at necking ðe=eu ¼ 1Þ and
d e the global strain in the tensile direction. Note that the predicted localisation has
ones, the curves (e and f) are shown in the undeformed conﬁguration.
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The dashed vertical lines indicate the centre line of the weld, while
the dashed horizontal line in Fig. 7b indicates the line along which
the simulated strain has been extracted for comparison with the
DIC measurements (see Fig. 7c–f).
A comparison between the predicted and measured local strains
is found in Fig. 7c and e for the cold weld and in Fig. 7d and f for the
hot weld. For both the cold and the hot welds, failure occurs on the
retreating side. However, it is only for the cold weld that plastic
localisation and failure is correctly predicted on the retreating side,
while the model predicts localisation and failure on the advancing
side for the hot weld. In order to compare the predicted strain, e11,
with the DIC measurements, the predicted responses for the hot
weld are thus inverted over the weldline in Fig. 7d and f. This dif-
ference is presumably due to the fact that material properties are
almost symmetrical across the weldline (see Fig. 2). Small devia-
tions in the material properties can therefore be responsible for
the selection of the side where ﬁnal localisation occurs. Note that,
for the same welding conditions as for the hot weld presented here,
other tensile tests performed without DIC have broken on the
advancing side while for cold welding condition fracture is system-
atically on the retreating side. Small inaccuracies on the estimated
material properties as well as on the location and size of the vari-
ous regions can therefore have a major inﬂuence on the selection of
the fracture side. Indications of this sensitivity to small differences
in material properties can also be found in the DIC measurement of
the hot weld in Fig. 7d. Indeed, high levels of e11 are found by DIC inFig. 8. Predicted localisation and failure of macro-specimen containing the cold weld, her
void volume fraction, f, (c) void aspect ratio, W, (d) stress triaxiality rkk=ð3reÞ, all plottedthe HAZ on both sides of the weld when the maximum load is
reached (e=eu ¼ 1, see Fig. 7d) even though localisation ﬁnally con-
centrates on the retreating side upon further stretching of the
specimens, interrupting any further deformation on the advancing
side (see Fig. 7f).
The origin of the small asymmetry in the material properties in
the HAZ, is probably due to the asymmetry in the temperature ﬁeld
inherent to friction stir welding. Since the hot weld shows a small
difference in temperature between both sides of the weld (with a
slight tendency to a hotter advancing side) while the cold weld
has a clearly hotter retreating side (see Fig. 12 in Simar et al.
(2007a)), it is expected that the fracture side of the hot weld is less
clearly deﬁned than for the cold weld.
Fig. 7c–f shows a good agreement between the measured and
predicted local strains in the weld region. Both the region of local-
isation and the level of the local strains are very well predicted
throughout the full deformation up to ﬁnal failure (accounting
for the inversion in the hot weld mentioned above). In terms of
the localisation of the deformation, the predictions for a material
with or without a stage IV hardening are found to be relatively
close. However, a stage IV hardening leads to a consistently higher
level of local deformation.
The predicted specimen geometry in the region of plastic local-
isation, shown in Fig. 7a, resembles a diffuse neck in a 3D homoge-
neous specimen. Hence, signiﬁcant thinning occurs in the mid-
section of the specimens. It is seen from Fig. 7b, that the region
in which failure occurs in the welded joints is predicted to bee showing (a) the deformation at failure ðe=eu ¼ 1:7Þ as well as curves of constant (b)
in the through thickness cross-sectional plane indicated in (a).
Table 3
Experimentally measured and predicted fracture strain of the macro-specimens
containing the cold and the hot weld, respectively. Both welds are performed with
r ¼ 1000 rpm.
Hot weld
ðv ¼ 200 mm=minÞ
Cold weld
ðv ¼ 1000 mm=minÞ
Measured ef 0.62 0.58
Predicted ef for hIV ¼ 0 0.45 0.67
Predicted ef for hIV ¼ K IVeu 0.75 0.68
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ments, the slant fracture is more pronounced. This difference in
the geometry evolution during localisation inﬂuences the tensile
behaviour and can be an additional reason for the observed mis-
match between the numerical and experimental tensile responses
for the welded joint, see Fig. 6.
6.2.3. Damage development and fracture strains
Fig. 8b–d shows maps of several state variables in the cross-sec-
tional plane indicated in Fig. 8a. This plane is of particular interest
when investigating the damage mechanisms since it involves the
most pronounced thinning, hence the zone of highest constraint.
Similar failure scenarios are observed for both the cold and the
hot weld during tensile testing (with and without stage IV). As
plastic ﬂow localises on the weakest side of the weld, the local
stress triaxiality departs signiﬁcantly from uniaxial tension. A re-
gion of high stress triaxiality develops in the soft HAZ, surrounded
by regions of low stress triaxiality in the BM and the NG (see
Fig. 8d). Combined with a sufﬁciently high stress level for micro-
void nucleation, voids start to grow signiﬁcantly in this region,
leading to an increase of the void volume fraction, f (see Fig. 8b).
Due to the relatively high critical void nucleation stress (see Ta-
ble 1), damage is limited to the region experiencing very large plas-
tic deformation. This is in agreement with SEM observations of
fracture surfaces which only reveal damage near the fracture sur-
face. Note that due to the mechanism of particle fracture governing
void nucleation in this alloy, voids nucleate with a very oblate
shape ðW01 ¼ 0:01Þ. These voids then open (W increases) during
localisation and eventually reach a shape close to spherical as void
coalescence occurs (see Fig. 8c).
The fracture strains of the macro-specimens are given in Table 3
for comparison with the numerical predictions, with and without
stage IV hardening. When omitting the stage IV hardening
ðhIV ¼ 0Þ the prediction of both the magnitude and the variation
of the fracture strain among the cold and the hot welds are rather
poor. Indeed, the fracture strain is underestimated by 27% for the
hot weld due to an early loss of the load carrying capacity, whereas
it is overestimated by 16% for the cold weld. On the other hand, by
introducing the stage IV hardening, the trend in the fracture strain
is much better captured. Nevertheless, the magnitude of the frac-
ture strain is overestimated by 17–20% for both welding
conditions.
The difference in fracture strains between the hot and the cold
weld (see Table 3) can, to some extent, be explained by the differ-
ence in the local stress state predicted for the two welds. As dis-
cussed above, omitting stage IV hardening slightly increases the
stress triaxiality in the region of localisation, with the highest val-
ues found for the hot weld. This is due to the larger mismatch in
the material properties for the hot weld, hence the more localised
plastic ﬂow induces more rapid damage development and void
shape evolution. Together with the difference in the Considère
strain, eu, for the various regions of the weld, this inﬂuences the
void coalescence predicted by the Thomason criterion. Further-
more, the change in the local stress state was found to result in
slightly earlier nucleation when omitting stage IV hardening,
which likewise affects the void growth and shape evolution.7. Conclusions
A ﬁnite element model accounting for damage evolution has
been applied to friction stir welded joints of aluminium alloy
6005A in order to predict the overall tensile response up to ﬁnal
failure. Most damage parameters have been directly identiﬁed
from microstructure characterization, while the ﬂow properties
as well as the size and position of the various weld regions were
based on micro-tensile testing and hardness measurements. A
Voce law type hardening model including a constant stage IV hard-
ening has been used to approximate the material behaviour and a
simple empirical correlation has been proposed to estimate the le-
vel of stage IV hardening.
The key ﬁndings of this study are the following.
 The complex competition between plastic ﬂow, void nucleation,
void growth and coalescence is heavily coupled with the hard-
ness and strain hardening of the material when predicting ﬁnal
failure.
 An improved prediction of the level of the fracture strain for the
heat affected zone (HAZ) has been obtained when accounting
for stage IV hardening. A good estimate of the fracture strain
for the HAZ is of particular importance here since plastic local-
isation and failure occurs in this region of the welds.
 The predicted trends of the fracture strain for the hot and the
cold welds were improved when accounting for a stage IV hard-
ening. A consistent overestimation of 17–20% was obtained,
which is acceptable considering that the model was applied
using physical parameters and no extra tuning.
 Evidence of a second population of cavities in the ligament
between the primary voids was found by SEM observations
for the base material and the nugget, whereas only one popula-
tion of voids was found in the HAZ. Assuming the secondary
voids nucleate at a high critical nucleation stress, a parametrical
study conﬁrms that this second population of voids signiﬁcantly
lowers the fracture strain of the micro-tensile specimens of the
base material and of the nugget, while the HAZ is unaffected.
The presence of a second population of voids does thus not
affect the ductility of the weld.
This work shows that state of the art microstructure informed
damage models can provide a reasonable prediction of the plastic
ﬂow and fracture strain of complex heterogeneous structures and
is able to link end-use properties to material characteristics, with-
out parameter adjustment.Acknowledgements
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As shown in Section 4.3.2, SEM observation of the fracture sur-
faces belonging to the high strength regions of the weld (e.g. the
BM, see Simar et al., 2010, and NG, see Fig. 3) reveal both large
and small dimples, indicating the presence of a second population
of smaller voids affecting the damage process. This effect is not ta-
ken into account in the fully coupled FE-model nor in the results
presented in the core of the paper. This partly explains the overes-
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strain was well predicted for the HAZ2 in which no secondary
voids were observed (see Table 2). The presence of smaller second-
ary voids, nucleating in the ligament between the primary voids, is
known to signiﬁcantly inﬂuence the void coalescence and thereby
cause premature failure (Tvergaard, 1982; Faleskog and Shih,
1997; Fabrègue and Pardoen, 2008, 2009).
A qualitative numerical study of the effect of the nucleation of
secondary voids on void coalescence has been carried out. For this,
only the micro-specimens were considered. The decoupled para-
metric study relies on the change in plastic strain and the param-
eters governing the Thomason criterion, Eq. (8). The equivalent
plastic strain, stress state, void shape and void volume fraction
are extracted at each time step from the fully coupled 3D model
for the Gauss point ﬁrst reaching coalescence (see Section 2) and
introduced, see Eq. (A1), in a modiﬁed Thomason criterion sug-
gested by Fabrègue and Pardoen (2008, 2009) that accounts for
the presence of secondary voids.rn
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aðeuÞ ¼ 0:1þ 0:217eu þ 4:8e2u ðA1ÞFig. A1. Effect of the presence of secondary voids within the different regions of the
weld; in terms of (a) the relative change of the strain at coalescence, epM

epM
		
max and
(b) the effective volume fraction of secondary voids at coalescence, f2, both as a
function of the rate of growth of the second population, K2.The volume fraction of secondary voids, f2, acts here as a knock-
down factor on the load carrying capacity for the ligaments be-
tween primary voids. The strain at which coalescence takes place,
epcM , see Fig. A1a, is hence determined. The predicted volume fraction
of secondary voids, f2, should be seen as an effective value, since the
average microscopic plastic strain between primary voids is as-
sumed to govern the nucleation and growth of the secondary voids.
For the sake of simplicity, the secondary voids are assumed to
evolve linearly with plastic straining (see Fabrègue and Pardoen,
2008, 2009, for a more advanced approach). Hence, the volume frac-
tion of secondary voids is taken to follow f2 ¼ K2 epM  epM
		
nucl2

 
,
where epM
		
nucl2 is the microscopic plastic strain corresponding to
the stress state at which nucleation occurs. The stress state govern-
ing the nucleation of the secondary voids is assumed to be similar to
that of the primary voids. Nucleation thus occurs when rM þ rkk=3
reaches a critical level rc2. The critical nucleation stress is adjusted
so that none or a limited number of secondary voids nucleate in the
HAZ to match the SEM observation in Fig. 3b (see Table 1). Hence,
only a limited effect of the secondary voids is expected on the frac-
ture strain for the full weld, since failure then occurs in the HAZ.
Fig. A1a shows the variation of the plastic strain at coalescence,
epcM , predicted by the above procedure, normalized by the plastic
strain at coalescence when omitting the presence of secondary
voids epcM ðK2 ¼ 0Þ. The results are shown as a function of the growth
rate of the secondary voids K2. Fig. A1b shows the variation of the
corresponding effective volume fraction of secondary voids at coa-
lescence. With a nucleation stress rc2 equal to 700 MPa, only a lim-
ited volume fraction of the secondary voids was found to develop
in the HAZ, and keeping rc2 constant, a much higher level of the
volume fraction of secondary voids is predicted for both the BM
and the NG (see Fig. A1b). This agrees well with the SEM observa-
tion of Fig. 3 and results by Simar et al. (2010). The high strength of
the BM and high strain hardening capacity of the NG cause second-
ary voids to nucleate. Hence, these regions are largely affected by
the secondary voids, which is also seen from Fig. A1a, where the
plastic strain at coalescence is lowered to 15% and 30% for the
BM and the NG, respectively, depending on the growth rate, K2.
Hence, the presence of secondary voids provides a physical expla-
nation for the difference between the experimental measurementsand model predictions for the BM and NG shown in Table 2, when
using a stage IV hardening.References
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